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Effect of spot welding variables on nugget size and bond
strength of 304 austenitic stainless steel
Nachimani Charde

Resistance spot welding (RSW) has revolutionized mechanical
assembly in the automotive industry since its introduction in
the early 1970s. Currently, one mechanical assembly in five is
welded using spot welding technology, with welding of stainless
steel sheet becoming increasingly common. Consequently, this
research paper examines the spot welding of 2 mm thick 304
austenitic stainless steel sheet. The size of a spot weld nugget
is primarily determined by the welding parameters: welding
current, welding time, electrode force and electrode tip diameter.
However, other factors such as electrode deformation, corrosion, dissimilar materials and material properties also affect
the nugget size and shape. This paper analyzes only the effects
of current, weld time and force variations with unchanged electrode tip diameter. A pneumatically driven 75kVA spot welder
was used to accomplish the welding process and the welded
samples were subjected to tensile, hardness and metallurgical
testing to characterize the size and shape of the weld nugget
and the bond strength.

Keywords
Spot welding, nugget size, stainless steel sheet, bond strength

Introduction
Resistance spot welding is used to join two or more metal
sheets together through fusion; with a high current flow from
the upper to the lower electrode through the base metals. This
process basically uses two copper electrodes to compress the
sheets together and supplies a huge amount of current (typically
kA) through the contact area of the electrodes. The flow of current against the base metal resistance causes heat development
and local melting of the metal sheets The heat generated, Q, is
given by I2Rt, where I is the current, R is the resistance and t
is the time for which current flows. Once the current flow has
stopped the melted volume solidifies. The melted and solidified
region of the base metals is referred to as the weld nugget. It
consists of three zones: the fusion zone (FZ), the heat affected
zone (HAZ) and the base metals (BM)1. The heat generated in
the molten zone is dissipated by thermal conduction through the
base metal, resulting in the formation of the heat affected zone.
The weld nugget size is determined primarily by the welding
current, welding time, electrode pressing force and electrode
tip diameter2. These are the four main control parameters that

enable a weld nugget to be formed that provides adequate joint
strength for the planned application. In this investigation the
current, weld time and force were varied while the electrode
tip diameter was kept constant.

Experimental methods
The base metals were prepared in a rectangular shape (200
mm x 25 mm x 2 mm), as shown in Figure 1. The chemical
composition of the sheet metal is tabulated in Table 1. A pair of
water cooled copper electrodes with truncated tip diameters of
5 mm was used to join the base metals (Figure 2). A pair of test
samples was initially placed on the top of the lower electrode
(tip) of the spot welder with a 60 mm overlap. The initiating
pedal was pressed and the pneumatic-based electrode actuation
system drove the upper electrode toward the lower electrode
and pressed the metal sheets together with a preset force. The
welding process started with the squeezing cycle and, once the
squeezing force was reached, the welding current was delivered
in accordance with the given preset value for the preset welding
time WT. The upper electrode then returned to its home position. The process controlling parameters (current, weld time
and force) were selected to establish the welding lobe for the
2mm stainless steel sheet.
Table 1. Chemical composition of stainless steel.
304 (2B) Austenitic Stainless Steel
Element

C

Cr

Ni

Mn

Si

S

N

P

Weight % 0.046 18.14 8.13 1.205 0.506 0.004 0.051 0.030
A weld schedule was developed using the welding lobe
(Figure 3) to avoid expulsion and poor welding conditions. The
preset welding conditions were limited to those lying within
the lobe for the 2 mm austenitic stainless steel sheets. Eighteen
(18) weld schedules were developed (Table 2) based on current
and weld time variations at constant force (sub-schedules 1(a)
to 9(a)); and current and force variation at constant weld time
(sub-schedules 1(b) to 9(b)). The weld lobe boundary indicated

200 mm
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25 mm
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Figure 1. Schematic diagram of spot welded tensile-shear
test sample.
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Table 2. Welding schedules.
Sample no.

Weld
schedule

Current
(kA)

Sub- schedule
(a)

Time*
(cycle)

Sub- schedule
(b)

Force^
(kN)

1-5

1

7

1(a)

10

1(b)

3

6-10

2

8

2(a)

10

2(b)

3

11-15

3

9

3(a)

10

3(b)

3

16-20

4

7

4(a)

15

4(b)

4.5

21-25

5

8

5(a)

15

5(b)

4.5

26-30

6

9

6(a)

15

6(b)

4.5

31-35

7

7

7(a)

20

7(b)

6

36-40

8

8

8(a)

20

8(b)

6

41-45

9

9

9(a)

20

9(b)

6

* Variable weld time WT at constant force (3kN).
Temperature (°C)

^ Variable force at constant weld time (10 cycles).

Water Flow

20

Molten

18

1.560E+03

16
Weld Time (Cycle)

1.406E+03
1.252E+03
1.098E+03
9.440E+02
7.900E+02

14
12
10
8
6

6.360#+02

4

4.820E+02

2

3.260E+02
1.740E+02

3

2.000E+01
Water Flow

4

5
6
7
8
Weld Current (kA)

9

10

No Weld

Moderate Good

Light Expulsion

Poor Weld

Very Good

Heavy Expulsion

Figure 2. Schematic diagram showing the cross-section
of the electrodes and the metal sheets. The calculated
temperature distribution during welding is shown.

Figure 3. Welding lobe diagram for 3 kN welding force.

by continuous lines delineates all acceptable welding conditions.
The coloured symbols represent the quality of welds produced.
Conditions that did not produce welds are indicated by white
boxes. The green coloured boxes with black borders represent
moderate to good welds; the fully green boxes represent very
good welds; the red coloured boxes bordered in green represent
welds for which light expulsion occurred; the red boxes represent heavy expulsion and the black boxes represent poor weld
joints. The selected welding parameters were equally spaced
(7, 8, 9 kA; 10, 15, 20 WT; and 3, 4.5, 6 kN) within the welding

lobe to ensure full coverage of the welding conditions. Figure
4 shows the surfaces of selected spot welds. The first two rows
refer to conditions corresponding to the border or interior of
the welding lobe diagram. The bottom row shows the effect
of welding force on the surface appearance of the spot welds.
The welded samples were subjected to tensile-shear tests and
hardness testing was carried out across the weld nuggets. The
results of these two tests alone were insufficient to completely
account for the properties of the welds and therefore a metallurgical study was carried out 3.
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Results and discussion

}

10 WT
3 kN

}

7 kA
3 kN

}

7 kA
10 WT

Tensile-shear test results
The tensile-shear tests were carried out using a 100 kilo Newton
capacity machine. The crosshead speed was maintained at 70 mm/
min. The ultimate tensile force was taken as the maximum recorded
force before failure of the test piece. Each force value recorded in
Figure 5 is the average of 5 measurements. Figure 5 indicates that the
weld strength increases with increasing weld cycle time and decreases
with increasing welding force. Further, (Figure 5 (a) demonstrates
that for a given cycle time and a constant welding force of 3 kN, the
strength of the weld increases with increasing current. Figure 5(b)
shows that the weld strength also increases with increasing welding
current for a given force at a fixed welding time. The increase in
strength with increasing current and weld time correlates with the

Figure 4. Surface appearances of selected spot welds.
16
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9 kA
18

8 kA
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16
14
12
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14
Tensile-shear force (kN)
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3

4.5
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(b) Constant weld time (10 cycles)

(a) Constant force (3 kN)

Figure 5. Tensile-shear test results presented as a function of weld time at constant force (a); and force at a constant weld time
of 10 cycles (b). The test current is recorded as a parameter.
9
8

Diameter (mm)

7
6
PF

5

Failure Mode

TF

4
3
2

IF

1
0

7

8

9

Current (kA)
(3kN, 10 cycles)

10 15 20
Time (Cyl.)
(3kN, 9A)

7

8

9

Current (kA)
(3kN, 10 cycles)

3 4.5 6
Force (kN)
(9kA, 10 cycles)

Figure 6. Relationship of nugget diameter to welding current, welding cycle time and welding force. The failure modes
observed are also related to the nugget diameter: IF – interfacial fracture, PF – partial tear failure, TF – tear failure (see text).
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Figure 7. Schematic diagram showing the initiation sites of
the observed failure modes (see text).

The failed tensile-shear test pieces showed three main fracture
modes. Poor welds (low fracture force and small nugget diameter) were characterised by interfacial fracture (IF) – fracture
through the nugget in the junction plane between the faying
sheets. Moderate to good welds showed tearing on either side
of the nugget in the base metal (partial (tearing) failure – PF)
In this case the nugget diameters fell between 4 and 6.8 mm.
Very good welds were strongly bonded to both sheets and had
weld diameters above 7 mm. The failure mode in this case was
tear failure (TF) in both sheets and/or button pullout. Figure 7
indicates schematically the sites where these failure were initiated during tensile-shear testing.

Hardness test results
Hardness testing was carried out using a Rockwell hardness
machine with 20 kg load (B Scale) on 9 samples from each
sub-schedule, Figures 8 and 9. The hardness of the fusion zone
(≈ 96 HRB) was higher than that of the unwelded regions (≈ 86
HRB) due to the solidification process. The hardness distribution within the fusion zone fluctuated slightly for a given weld,
but there was little change between welds produced over the
range of conditions investigated. The heat affected zone (≈ 90
HRB) was lower in hardness compared to fusion zones, as has
been noted by other researchers 6.
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3, D = 6.232 mm
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Figure 8. Hardness results for the 9 welds in sub-schedule
(a) which are based on variations in current and time at
constant weld force (3 kN)
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Hardness (HRB)

Failure modes

94

86

increase in heat input and an associated increase in the size of
the welded region. By increasing either the current or weld
time; the heat supplied to the volume of metal between the
electrodes is proportionally increased, resulting in an increase in
nugget diameter 4,5. Figure 6 confirms that the nugget diameter
increased for increasing current or weld time.
Increasing the welding force caused a drop in strength
(Figures 5(b) and 6) because of a decrease in static resistance.
For increments in force from 3 to 4.5 to 6 kN, the tensile-shear
strength was reduced because the resistance of the metal volume
between the electrodes was reduced as the increased pressing
force reduces the length (ℓ), which is directly proportional to the
resistance : R = ρ ℓ / A, ; where ρ is the resistivity (SS=6.89 x
10-7 Ω.m); ℓ is the length (m); and A is the contact area (1.963
x 10-5 m2) of the electrodes. The electrode tip diameters were
unchanged, so the resistance is mainly affected by the change in
ℓ caused by indentation under the welding force. This indentation
is likely to develop fully during current flow and heat generation
in the base metal i.e. deformation occurs under short-term hot
forging conditions, and results in attenuation of the resistance
heating effect. Figure 6 demonstrates that increasing the welding
force decreases the diameter of the weld nugget.

96

BM

BM

FZ

HAZ

HAZ
Distance (mm)

1, D = 4.836 mm
2, D = 5.836 mm
3, D = 6.204 mm
4, D = 4.538 mm
5, D = 5.025 mm

6, D = 5.827 mm
7, D = 3.894 mm
8, D = 4.290 mm
9, D = 4.738 mm

Figure 9. Hardness results for the 9 welds in sub-schedule
(b) which are based on variations in current and force at
constant weld time (10 cycles).

Metallurgical testing
Standard metallurgical procedures were carried out for each of
the 18 weld tests in order to measure the nugget dimensions7
and to examine the microstructures of the base metal (BM), the
heat affected zone (HAZ) and the fusion zone (FZ). The results
for nugget diameter have been used in Figure 6 to elucidate
WELDING RESEARCH SUPPLEMENT

Indentation (µm)

the relationship with the welding conditions. The tensile-shear
strength increased with increasing nugget diameter. Figure 10
shows a typical macro structural view of a weld bead joining two
sheets of 2 mm thick stainless steel. The heat affected zone was
very narrow and was not clearly defined in any of weld joints. .
The increases in the welding current, welding time and electrode pressing force produced almost proportional increases in
the depth of the indentations produced at the top and bottom
surfaces of the weld zone, Figure 11. The centre depths of the
indentations of the weld nuggets were measured in micrometers
and these results are shown in the figure. There was no significant difference in the depths measured at the upper electrode
surface and the lower electrode surface.
Austenitic stainless steel is generally non-hardenable by
heat treatment but the hardness can be changed through cold
work 8. In this investigation the hardness was increased due to
200
180
160
140
120
100
80
60
40
20
0

Upper Indent

7
8
9
Current (kA)

10 15
20
Time (Cycle)

Figure 10. Macrograph of a typical weld bead for stainless
steel sheet.
Lower Indent

7
8
9
Current (kA)

Current and Time

3
4.5
6
Force (kN)

Current and Force

Figure 11. Indentation depths of weld nuggets for welds produced in sub-schedule
(a) (current and weld time varied) and sub-schedule (b) (current and force varied).
the solidification process. Figure 12 shows the microstructures
of the welded and unwelded areas of the austenitic stainless
steel sheets. The rapid solidification and cooling of the weld
nugget resulted in a different microstructure to that present in
the wrought sheet, which is effectively fully austenitic. Initial
solidification of the fusion zone occurred by formation of ferrite dendrites that transformed at high temperature to austenite.
This transformation process is restricted by the rapid cooling
rate leading to a mixture of austenite and ferrite at room temperature. The remnant ferrite is present as dendrite skeletons or
cores (vermicular structure) 9. Pores were sometimes present
(see Figure 12) and it has been proposed that these are due
to improper force profiles during the welding process 10. It
has been claimed that the incidence of this type of pore can
be reduced or completely removed if a servo-based electrode
actuation system is applied 10.

Conclusions

Figure 12. Scanning electron macrograph and micrographs
showing a section through a weld nugget (upper photograph)
and the base metal (BM) and fusion zone (FZ) microstructures.
WELDING RESEARCH SUPPLEMENT

The main conclusions of this investigation of spot welding of
2 mm thick sheets of 304 stainless steel are as follows.
1. Increasing the welding current and the welding time within
the welding lobe resulted in an increase in diameter of the
weld nugget and an increase in the strength of the spot weld
under tensile-shear conditions.
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2. Increasing the electrode pressing force resulted in a decrease
in the diameter of the weld nugget and a decrease in the
force required to result in failure of the spot weld.
3. The main failure modes observed were interfacial fracture
(IF) which correlated with poor welds; tearing form one side
(partial tearing failure, PF) which characterized medium
strength welds; and button pullout or tear from both sides
(tearing failure, TF) which corresponded to strong spot
welds.
4. The average hardness of the weld zone was higher than that
of the base metal (96 HRB compared to 86 HRB) because
of the microstructural change to a duplex austenite-ferrite
structure on solidification of the austenitic stainless steel.
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Remaining life assessment of a high pressure turbine rotor
Ninh Nguyen and Alfie Little

This paper describes finite element and fracture mechanics based
modelling work that provides a useful tool for evaluation of
the remaining life of a high pressure (HP) steam turbine rotor
that had experienced thermal fatigue cracking.
An axis-symmetrical model of a HP rotor was constructed.
Steam temperature, pressure and rotor speed data from startups and shut downs were used for the thermal and stress
analysis. Operating history and inspection records were used
to benchmark the damage experienced by the rotor. Fracture
mechanics crack growth analysis was carried out to evaluate
the remaining life of the rotor under thermal cyclic loading
conditions. The work confirmed that the fracture mechanics
approach in conjunction with finite element modelling provides
a useful tool for assessing the remaining life of high temperature
components in power plants.

Keywords
Finite element analysis, heat transfer, stress analysis, fracture,
fatigue

Introduction
Fossil fuel fired power stations in Australia and world-wide
are aging and many critical turbine components are continuing
in operation beyond their design life. The assessment of the
remaining life of those components is critical to power plant
operators to guarantee safe and reliable operation. This paper
describes finite element and fracture mechanics based modelling work used to evaluate the remaining life of an aging HP
rotor which has been experiencing thermal fatigue cracking.

Areas of cracking: dummy inlet
and first caulking groove

Figure 1. Schematic diagram of the HP turbine.
Dr Ninh Nguyen is a Senior Mechanical Engineer with
HRL Technology, 677 Springvale Road, Mulgrave, VIC 3170,
Australia
Alfie Little is a Mechanical Engineer, NRG Gladstone
Operating Services, Gladstone, QLD 4680, Australia
This paper is a reviewed and edited version of a paper
published in the Proceedings of the 6th Asian Pacific
International Institute of Welding (IIW) International
Congress and 56th Welding Technology Institute of Australia
(WTIA) Annual Conference, Cairns, Queensland,
Australia 25-27 September 2011.
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Turbine operating history
A damaged, 280 MW steam turbine HP rotor from a power
station was selected for this work. The turbines are a tandemcompound design which comprises a separate rotor for HP,
Intermediate Pressure (IP) and Low Pressure (LP) turbines.
The HP is a single-flow turbine with 22 stages as shown in
Figure 1. The rotor was manufactured in 1971. The turbine was
designed to operate with an inlet steam temperature of 538°C at
a pressure of 16 MPa and at an exhaust temperature of 344°C
at pressure of 4 MPa.
The turbine was commissioned in middle 1970s and as of
2009 the turbine has been in operation for ~215,000 hours
with 584 start-ups, of which 90 were cold starts (Table 1). It
AUSTRALASIAN WELDING JOURNAL – VOLUME 57, THIRD QUARTER – 2012
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Figure 2. A typical turbine cold start event (from all cold starts) against the start-up date-time (x-axis)
Table 1. Summary of average number of start-ups per year for the HP turbine,2,12
Start-ups
Operating hours
Cold 1977-2009
Warm 1977-2009
Hot 1977-2009
Restart/Trip 1977-2009

Definition
In-service (on-line)
> 96 hrs off-line
12-96 hrs off-line
6-12 hrs off-line
0-6 hrs off-line

Total No.
215,000 hours
90
136
55
303

Average / year
7,200
3
4 -5
2
9 – 10

Table 2. Summary of inlet steam conditions for 2000-2009 for HP turbine1
Temperature (°C)
Operating hours
Percentage (%)

500-510
28,636
34.5

515
6,783
8

520
8,429
10

525
9,649
12

is expected to be in continued service for a further 20 years
to 2029 i.e. at that time, it is expected to reach approximately
350,000-380,000 operating hours, with a total of 1,000 cold,
warm and hot starts, including 150 cold starts, assuming the
current operating regime. An example of operating data from
a cold start is given in Fig. 2 1. Steam inlet temperatures to the
HP turbine for the last nine years (2000-2009) are summarized
in Table 2. Typically, the inlet steam temperature varies between
500 and 545°C; and the temperature of the steam is in the 520540°C range for about 60% of the time.

Turbine rotor inspection history
In 1994, surface cracks at the dummy piston inlet groove (original
design) were reported at the base fillet radius on the HP rotor
(Figure 3). The cracks were circumferential and were about
3-3.5mm deep. The turbine had been in operation for ~118,000
hours with 404 starts when the cracks were observed. The
cracks were removed by machining the area and introducing a
modified groove profile as shown in Figure 3.
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530
10,218
12

535
9,065
11

540
8,081
10

545
2,072
2

550
56
0.1

Total hours
82,996
100

The cracking problem at the dummy piston of the HP rotors
appears to be an inherent design problem, as similar problems
were reported on other machines. A crack at the inlet groove
of about 6 mm depth was estimated to have initiated after
~102,000 hours and 646 starts. There were no cracks found at
the first stage caulking grooves.

HP rotor materials properties
The rotor was forged from 28CrMoNiV 4 9 (1Cr-1Mo-0.25V
steel)3. This steel is typical of those used around the world for
HP steam turbine rotors and its properties are well known. The
chemical composition of the rotor material is given in Table
3. A listing of temperature-dependent mechanical and thermal
properties of the rotor material is given in Table 4.

Finite element analysis
Methodology for the thermal and stress analysis of the HP turbine
rotor used in this work was consistent with the methodology
developed and recommended by EPRI13.
WELDING RESEARCH SUPPLEMENT

Before grinding

After grinding

Figure 3. A surface crack, found in the inlet groove of the HP rotor (original design), was ground off before it was returned to service.
Table 3. Nominal chemical composition (wt%) of rotor material (1CrMo 0.25V steel – DIN 1.6985 ).
C
0.25-0.30

Si
≤0.30

Mn
0.30-0.80

P
≤0.015

S
≤0.018

Cr
1.10-1.40

Mo
0.80-1.00

Ni
0.50-0.75

V
0.25-0.35

Table 4. Mechanical and physical properties of the rotor material (28CrMoNiV49, DIN 1.6985) 3.
HP Rotor
Tensile strength
Yield strength
Young modulus (E)
Specific heat, Cp
Thermal expansion coefficient
Thermal conductivity, K
Thermal diffusivity
Fracture toughness
Charpy energy, Av ISO-J
Paris’ law coefficients A & m

Unit
MPa
MPa
GPa
K/kg/oC
mm/mm/oC
W/m/oC
m2/sec
MPa.mm0.5
J
–

Thermal analysis
An axis-symmetric finite element mesh was used to model
the HP rotor shaft (Figure 4(a)). The mesh was refined in the
areas of concern: the inlet groove and blade attachments. Blade
attachment areas were modelled using contact elements between
the blade roots and rotor grooves as shown in Figure 4(b). A
mesh of the original design inlet groove before modification
is shown in Figure 4(c).
WELDING RESEARCH SUPPLEMENT

@ 20°C
759
565 – 685
204
443
9.78 x10-6
41
11.87
1,470
99
7.59E-13, 3

@ 540°C
507 @ 525 oC
449 @ 525 oC
164
694
16.2 x10-6 @ 425oC
34.1
6.30
Mean: 4,740, Lower: 3,160
–
1.00E-12, 3

Ref.
4
4
5
5
5
5
5
4, 6
3
6

Thermal loads and boundary conditions used in the modelling were as follows.
• Steady state: constant steam temperatures of (538°C) and
pressure of 16.0 MPa was maintained at inlet stage and
constant steam temperatures of (344°C) and a pressure of
4.0 MPa was maintained at exhaust stage.
• Transient state: a constant uniform steam film coefficient
was conservatively estimated and imposed to the blade
AUSTRALASIAN WELDING JOURNAL – VOLUME 57, THIRD QUARTER – 2012
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attachment root section, surface of the rotor at inlet stage
and labyrinth seals between stages to simulate the transient
temperature profile of the rotor during each start-up and
load change events.
•

The initial condition during start: uniform metal temperatures
of 100°C for cold start, 250°C for warm start and 450°C
for hot start. The initial condition for the load change was
based on the steady state operating temperature profile of
the HP rotor.
Thermal stresses that develop from temperature gradients in

the HP rotor during thermal transients are generally presumed
to be responsible for the high level thermal strains that initiate
and drive thermal fatigue cracking. To model the temperature
transients at the HP rotor surface it is necessary to characterize
the heat transfer from the steam to the rotor metal surfaces at
each stage of the rotor. The heat transfer process was simplified
using a convection heat transfer film coefficient determined
from the steam transient temperature, pressure and mass flow
rates. The film coefficient is generally not known, but can be
estimated to produce a reasonable agreement between predicted
and measured transient temperature data.

(4a)

(4b)

(4c)

Figure 4. Axis-symmetric finite element mesh for HP-rotor unit 2 model: (4a) Overall rotor shaft mesh with the modified inlet
groove. (4b) Blade attachment mesh using contact elements (4c). Original inlet groove mesh and assessment crack path A-A.
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Tensile stress
Stead-state
Δσ

Trip

Rundown

hot starts as shown in Figure 5. The residual stress magnitude
in the rotor groove after gradual normal operating shutdown is
relatively low and it insignificantly influences the mean cyclic
stress i.e. it was not considered in this work.

Fatigue crack growth

Time

Crack growth rate under cyclic loading conditions can be calculated using the Paris equation 7:

Warm / Hot
start-up
Cold start-up

(1)



Compressive stress

where
da and dN are the increment of crack depth and the number
of loading cycles;
• DKeff (in MPa√m) is the effective Stress Intensity Factor
(SIF) range;
• m = 3 and A = 3.16 x 10-11 are material constants which are
taken from the mean crack growth at high temperatures at
538oC;
• the SIF range, DK = DsY√pa, with Y being the crack geometry correction factor which is a function of crack size a
and Ds (MPa) is the stress range.
•

Figure 5. Diagram of cyclic stress ranges due to start-up and
load change operating conditions.

Stress analysis
The driving force for fatigue crack initiation and growth in
the HP rotor grooves is the cyclic stress range and maximum
principal tensile stresses during starts. A stress cycle is a startup and subsequent run-down or trip condition, regardless of
the delay between these events.
• Linear-elastic analyses were performed for cold, warm, hot
starts, trip, shut-down and for steady state full load regimes,
using temperature results from the thermal analyses.
• Structural loading and boundary fixing conditions were as
follows:
• The rotor shaft was restricted in the axial direction at the
thrust bearing.
• Inlet steam pressure of 16.0 MPa and exhaust steam pressure of 3.4 MPa at steady state operation.
• Blade centrifugal forces at maximum operational speed of
3,000 RPM (rotations per minute).
• Self-weight and angular acceleration of the rotor at maximum speed of 3,000 RPM was used to simulate centrifugal
forces.
In general, the stress results reflect a combination of thermal,
pressure and blade centrifugal loadings. During start-ups the
peak thermal stress was reached at an early stage of the start
when rotational speed and pressure was at fraction of steady
state operation. Therefore, the mechanical load was considered
to be insignificant during the start-up stress analysis. However,
during a trip or shut down event, full mechanical loads at steady
state operation were coupled with thermal load to determine
peak cyclic stresses.
In order to determine the cyclic stress range for starts, trips
and rundowns, thermal and stress analyses were carried out.
The peak stresses from the operating cycle were coupled to give
the corresponding maximum stress ranges for cold, warm and

The lower bound value of fracture toughness for the steel
in the temperature range from 300-600oC was taken from BS
7910 [6] as KIC = 100 MPa√m.

Results and discussion
Steady state analysis
Figure 6 shows the temperature distribution in the rotor under
normal design operating conditions. The temperature at the inlet
(dummy piston) and the first stage are highest (538°C) and it
gradually decreases across each stage as shown in Figure 6(a).
The temperature at both bearings of the rotor is approximately
142°C.
In general, the steady state thermal stresses were low. The
highest tensile stress of about 154 MPa occurred at the hook
radius of the first stage (Figure 7). Steady state stresses at the
2nd and 3rd stages were lower than in the first stage. The stress
at the inlet was about 60 MPa in tension. Detailed stress results
are summarised in Table 5. The tensile stresses at the caulking
grooves were insignificant.
The centrifugal loading was most prominent at the final stage
blade groove (22nd stage) due to larger blades. A stress of 214
MPa was calculated at the hook radius of the rotor, but this is
at a relatively low temperature (370°C) region. This stress is
well within the yield strength of the rotor material and is not
subjected to any significant creep damage. The effect of cyclic
stresses at this region on fatigue damage is insignificant due to
relative small stress amplitudes.

Table 5. Summary of steady-state stress results (MPa) due to combined thermal and mechanical loads.
Location
Inlet (dummy piston)
1st blade groove (D)
1st blade hook (C)
2nd blade hook
3rd blade hook
22nd blade hook
WELDING RESEARCH SUPPLEMENT

Maximum
Minimum
Principal stress Principal stress
60
1
154
138
130
214

-15
-3
7
7
10
7

Equivalent
stress

Hoop stress

Radial
stress

Longitudinal
stress

70
4
137
119
106
180

-2
–
30
39
44
84

20
–
95
81
78
146

24
–
66
63
59
74
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(6a)

(6b)

Cyclic stress analysis
Figure 8 shows the temperature profile at 244 seconds after the
cold start began when stresses reached maximum values. The
rotor metal surface temperature was highest at the inlet stage
and first stage blade attachment. Peak principal compressive
thermal stresses (S3) of the order of ~1200MPa developed in
these regions during a cold start as a result of rapid heating
(Figure 9). This stress range was determined using linear elastic
stress analysis i.e. implying plastic deformation had occurred
and high cyclic strain was induced at the caulking groove. A
summary of transient peak stresses is given in Table 6.

Fatigue crack initiation and growth
Since the first stage blade groove D (Figure 10) was removed
by machining to reduce stress at this location, the crack growth
analysis was carried out for the second stage groove of the
HP rotor along the path E-E (Fig. 10). The stress range in the
second stage caulking groove was sufficient to cause fatigue
crack initiation in operations to date. Consequently, a fatigue
crack growth analysis was carried out at this location.
The low cycle fatigue crack initiation estimation, carried out
for the rotor crack groove, was based on the ASME5 Fatigue
assessment procedure for the rotor base metal, which is also
based on the Coffin-Manson equations. Crack growth analysis was based on the Paris equations as per standard industry
approaches 6-8.
The analysis was carried out with EDF Nuclear Energy
R-code software 9 using cyclic stresses produced by cold starts
and trips. These conditions were found to produce the highest
stress range. The stress distribution along the path E-E was
used for the analysis and is plotted in Figure 11.

Figure 6. Steady state temperature profile of the HP rotor
(groove was modified after the repair): (6a) steady state
temperature profile; (6b) zoom view of temperature profile
in inlet groove region.

130MPa

138MPa

154MPa

Figure 7. Maximum steady state principal stress –
1st, 2nd and 3rd stages.

Figure 8. Temperature distribution at 244 seconds during a cold start.
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Table 6. Summary of transient peak stresses (in MPa).
Location

Cold Start (CS)

Warm Start (WS)

Hot Start (HS)

Trip/Restarts (T/R)

-231
-226
-123
-355
-388
-376

-160
-158
-85
-250
-276
-274

+173
+185
+132
+306
+343
+330

Inlet – dummy piston (A)
-675
Inlet – dummy piston (B)
-690
1st blade hook (C)
-336
1st blade groove (D)
-1188
2nd blade groove (E)
-1163
3rd blade groove (F)
-1073
Note: positions A to F are marked in Figure 10.

Figure 9. Minimum principal stress contour (S3) at 244 seconds during a cold start.

Figure 10. Locations and paths selected for fatigue and creep damage/crack growth analysis.
As noted above, circumferential cracks of 3-3.5 mm depth
were found in the inlet stage stress relieving groove (location
A, Figure 4(c)). No cracks were found in the first stage blade
groove. This information was used to benchmark fatigue crack
growth predictions. The FE model was modified to represent
the original geometry i.e. before machining. The cyclic stress
WELDING RESEARCH SUPPLEMENT

range that would cause crack initiation and growth to a depth
of 3.5 mm in 50 cold starts at location A (Figure 4(c)) was
determined. This was then used as input for the crack growth
prediction along path E-E. Only 60% of total compressive stress
range was used to determine the effective stress range for crack
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0

50
100
150
200
250
Distance from rotor surface (mm)

Figure 11. Peak cyclic stresses along crack path A-A
(original rotor, Figure 4c) and E-E (Figure 10).

growth analysis as recommended by European standard 10 and
R5-R6 procedures 7, 8.
The crack growth analysis used both upper and lower bound
properties and predicted that a crack would grow up to 4 mm
deep in about 150 cold start cycles (a total of 50 years from
commissioning at the present regime). Fatigue curves estimated
that cracks would initiate in about 65 cold starts. The estimated
upper and lower bound crack growth from an initial crack of
1mm is shown in Figure 12. The upper bound crack growth
rate was determined by calibration with the crack growth in
the original rotor design at the inlet groove. The lower bound
growth was based on typical mean growth parameters recommended by BS7910 6.
The fatigue assessment using ASME and NRIM fatigue
data for rotor material 5,11 was conservative as it was based
on the highest stresses at the caulking grooves at the hot end
of the rotor. The highest stress range of about 1,506 MPa was
predicted at the second stage groove and was generated by the
cold start-ups and trip events. The stress ranges from warm and
hot starts were significantly lower (Table 6). The calculated
stress at the caulking grooves exceeded the yield strength of
the rotor material at temperature. This resulted in local yielding
at the base of the grooves. The calculated stresses are pseudoelastic stresses and do not account for plastic deformation. The
extent of the plastic zone that would develop at the base of the
caulking groove was estimated to be less than 2 mm below
the surface. This is due to the very steep stress gradient at the
caulking groove.
The crack growth analysis indicated that cracks at the caulking grooves would extend at a very slow rate. The calculations
conservatively predicted extension of a circumferential crack
to a depth of 2 mm in about 40 cold starts after crack initiation.
This equates to more than 12 years service under the current
operating regime and confirms that the HP rotor has considerable remaining life. An inspection interval of 10-12 years could
be adopted to detect any cracking with minor risk of the cracks
extending to critical size.

Summary
A finite element stress analysis was carried out for a high pressure steam turbine rotor. At steady-state the rotor is moderately
stressed and will have sustained some limited creep damage.
Transient operating conditions resulting from start-ups, restarts
and load changes result in generally high cyclic stress ranges,
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1977-2029

Inlet – original design
2nd caulking groove – upper bound
2nd caulkng groove – lower bound
1977-2009

20
18
16
14
12
10
8
6
4
2
0

1977-1994

Smax, Path A-A, Original rotor
Smin, Path A-A, Original rotor
Smin_Path E-E, Modified rotor
Smax_Path E-E, Mdified rotor

Crack depth (mm)

Stress (MPa)

400
200
0
-200
-400
-600
-800
-1000
-1200
-1400

Crack propagation

100
150
No. of cycles
Figure 12. Crack growth at second stage caulking groove
(path E-E).
0
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particularly at the caulking grooves in the blade attachment.
These stresses could result in low-cycle fatigue cracking in
the stage 2 caulking grooves and to a lesser degree in stage 3.
A fracture mechanics damage assessment indicated that
fatigue crack growth would be relatively slow. An initial
crack would require approximately 80 cycles (cold start-ups)
to extend to a crack of 4 mm depth. This equates to about 25
years in service. Detection of a crack by NDT (1-2 mm deep)
could become possible after about 110 cold starts from commissioning. The remaining life assessment has indicated that,
although high cyclic stresses might lead to crack initiation and
growth, the rate of crack growth is low and continued operation
is acceptable if supported by a suitable inspection program.
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